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ABSTRACT
This thesis is a continuation of work done by the
M.I.T. Electric Power Systems Laboratory on a project to
build a physical scale model of the American Electric
Power Service Corporation Network. Specifically, it is
associated with the portion of the project directed
toward modeling large steam turbine generators.
The object of this thesis is to redesign a model of
the AEP BIG SANDY No. 2 generating unit so as to eliminate
excessive eddy current loss characteristics exhibited by
the model. The eddy current loss problem in a small gap
generator is studied and a design modification, which is
to close the rotor and stator slots, is established.
To aid in the modified design, a teledeltos modeling
technique is used to investigate the effects of saturation
in the model rotor. Finally, procedures are presented to
calculate the model leakage reactance in order to deter-
mine the amount of external reactance necessary in the
armature and field circuits to accurately reproduce the
transient and synchronous reactance of BIG SANDY.
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1.1. History of the Modeling Project
This thesis is a continuation of work done by
the M.I.T. Electric Power Systems Laboratory on a pro-
ject to build a physical scale model of the American
Electric Power Service Corporation Network. Specifi-
cally, it is associated with the portion of the project
directed toward modeling large steam turbine generators.
A feasibility study of the concept was initiated
in January 1967. This study was based upon a magneto-
static model of a generator and illustrated the viability
of a physical scale model for transient stability studies
in which mathematical models have limited application
because of the complexity of electromagnetic and electro-
mechanical phenomena. In order to model these phenomena
ideally at an acceptable size and power level, it was
proved necessary to construct the model from materials
with a much higher electrical conductivity than that
normally required.
The required conductivity was obtainable from some
pure materials in a cryogenic environment. However, be-
cause of the high cost and complexity associated with
this procedure, it was determined to be impractical to
2proceed with physical scale modeling m this way.
Efforts were then directed toward modeling with
available materials. The approach was to use a rotor
made from a composite of high permeability magnetic
material and copper in order to model the transient eddy
current decay in a solid rotor forging. The importance
of accounting for eddy current phenomena in modeling was

evidenced in field discharge tests made on the BREED
No. 1 generator by J. H. Kinghorn which indicated that
the effects do not dissipate quickly enough to be
3ignored as has been assumed m mathematical models.
A procedure to scale eddy current decay was pro-
vided by A. S. Pasquale in his study of eddy current
transients in a cylindrical rotor resulting from changes
in flux in a plane perpendicular to the axis. Pasquale
concluded that two constants must be kept the same in
4the model and full scale generator. These constants
are t and C defined by:












where y = rotor material permeability
a = rotor material conductivity
R = armature inner radius
a
R, = rotor radius
The constant, y, describes the eddy current decay rate
in the rotor material, and the constant, C, describes
the difference between a magnetic path for flux which
crosses the air gap and one which closes in the rotor.
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Pasquale's analysis assumes linear field be-
havior. We must consider also the effects of saturation
in the rotor in interpreting his results. The initial
flux densities in a real machine under operating condi-
tions are near the saturation level of the rotor material.
When a transient occurs, saturation in the rotor 9 from
the pole face tends to force more flux across the air gap
to produce armature voltage. The value of the constant,
C, is decreased since it is inversely proportional to the
reluctance of the path through the rotor iron which is
higher because of saturation. If we assume that saturation
does not affect time constants, then the only effect of
saturation is to change C. The important point of all
this is that if we are going to physically model the
transient behavior of a large steam turbine generator,
we raust reproduce saturation in the model rotor as it
occurs in the generator in addition to matching the
values of x and C so that the changes in C because of sat-
uration will occur relatively the same in the model and.
the generator.
A physical scale model was constructed and tested.
It had been designed to model the AEP CARDINAL No. 1
generator but technical difficulties resulted in the model
having an air gap which was too large to match the constant
C. Field discharge tests were conducted which indicated
that the changes in C that occurred in the model were
relatively the same as those ob«servQd in the BREED tests,
i.e., the initial difference in the values of C between
the model and BREED accounted for the difference observed
in the decay rate of the armature voltage during the tests.
The results of those tests provided the impetus for
the design, construction and testing of a new model which
scaled the AEP BIG SANDY No. 2 generating unit. BIG SANDY
was picked because it has the smallest air gap of the

generators to be modeled and represented the most
severe test of the modeling technique. This model
was also unsatisfactory^ in that it exhibited no-load
electrical losses on the order of 50% of rated output.
The severity of the losses permitted only limited
testing of the model.
1.2. Objective of Thesis .
The primary purpose of this thesis is to redesign
the BIG SANDY model to eliminate the no-load eddy current
loss characteristics observed in the present model. In
Chapter 2, a procedure to eliminate the losses is studied,
and a design modification, which is to reduce the stator
slot width, is developed. Additionally, the results of
an experiment conducted to verify that a reduced stator
slot width will solve the loss problem are reported.
The modified design is developed in Chapter 3. A
secondary objective of this thesis is to insure that the
redesigned rotor and stator laminations may be used to
construct models of other of the AEP units. The modified
design is thus developed to be applicable to a model of
the AEP MITCHEL No. 1 generator in addition to BIG SANDY.
The modeling procedure, which is described in
Section 1.3, is oriented toward modeling magnetic diffusion
in the rotor of the steam turbine generator. In order to
accurately reproduce the transient characteristics of the
full size machine in the model, it is necessary to add
external reactances in the field and armature circuits
of the model to match per unit leakage reactances in the
model with those observed in the generator. The problem
of calculating the model leakage reactances and making
appropriate adjustments is addressed in Chapter 4.
Finally, in Chapter 5, in addition to a listing of
10

results and conclusions, a brief discussion of the
applicability of the modeling procedure to model a
shipboard electrical power system is also included.
1.3. Design Procedure
The design procedure which was used to complete
the modified design has evolved through a series of re-
ports and theses. It consists of defining scaling con-
stants, (listed in Table 1.1) by the ratio of the para-
meter for the model relative to that for the real machine,
and then developing constraints among these parameters
from basic machine relations and Pasquale's results. One
of these constraints along with the basic scaling technique
. . 7
was developed in the initial study.
The generator operates as a quasi-static, magnetic
field system which may be described by Maxwell's equations
as follows:
(1.4) V X H = J (1.5) V X E = -
d^ t
(1.6) V • B = (1.7) V • J =
(1.8) J = aE (1.9) B = f (H)
where
= 1 -r— +1 7r-+l -TT—X 8x y Sy Z dZ
i , i , i are unit vectors in the axis directions
x y z
H = magnetic field intensity
B = magnetic flux density
E = electric field intensity




SUMMARY OF SCALING CONSTANTS
Scaling Ratio of Property of Model
Factor to that of Actual Machine
Kj Rotor radius
KjK „ Active length of field and armature
K Effective magnetic permeability of rotor
K Effective electrical conductivity of rotor
K Turn per cycle
K Effective air gap length
K Rated armature voltage
K Armature series turns per phase
n




K„ ^ Saturation flux densityBsat
12

The procedure in scaling is to write a separate set of
these equations for the model, designated by the sub-
script m, and for the full scale generator, designated
by the subscript s. For instance, using equation (1.8)
for the model,
(1.10) J = a E
m mm
and for the generator
(1.11) J = a E .
s s s
In order to scale the electromagnetic phenomena described
by equations (1.4)-(1.9), we must insure correspondence
between each variable in the model with the same variable
in the generator. This is accomplished by defining scaling
relations for each system variable, i.e.,
(1.12) J = K^J
m J s
(1.13) a = K amas
(1.14) E = K^E
m E X
Similar relations are defined for the other system varia-
bles. Constraints among the sc^aling constants, K , K ,etc.
may be deduced by substituting the scaling relations
into the set of equations written for the model and col-
lecting the constants on one side of the equation, i.e.,




(1.15) K^J = K a X K E
J s as E s ,
Collecting the scaling constants on the left side of
the equation yields the result
(1.16) ^-4- J = a EK K_, s s s
a E
which indicates that the constaint
' J •(1.17) ^ „ = 1 must be satisfied m order to
O E
accurately model electromagnetic phenomena. Equivalent
operations on equations (1.4)- (1.7) and (1.9) with
scaling relations appropriately defined will yield the
following additional constraints among the scaling con-
4- 4. 8stants
:
^E^t(1.18) rf~^ = 1
(1.19) ^H ^ , ,
? (K H )
(1.20)
J,
= f^(H,)Kg s s
Since the relative effect of the magnetic properties of
air in the model and generator must be equal, we must set
(1.21) ~ = 1
As a result of this, it is necessary to insure that the
magnetization curves for the material used in the model
is similar to that for the generator material. This is
14

indicated by equation (1.20).
We may now combine equations- (1.17 ) - (1 .19 ) . The
resultant constraint expression is
(1.22) K K K„^ = K^
o \i i t
The development to this point is exact. In order to
build a practical model from available materials, we relax
the requirement that all dimensions and material properties
scale by the same factor throughout the machine. Instead,
we use the results of Pasquale ' s analysis and the subse-
quent interpretation discussed in Section 1.1. We strive
to reproduce electromagnetic diffusion in the rotor by
scaling the constant C and in insuring that saturation
occurs in the model relatively the same as in the actual
machine. This latter requirement is met by imposing the
constraint represented by equation (1.22) to the trans-
verse dimension since it is the changes in flux in a plane
perpendicular to the rotor axis that affect the eddy
current transients that we are attempting to accurately
9
reproduce. From equation( 1 . 3) , the constraint imposed by
keeping C constant is
K K
(1.23) -^ = 1
In order to keep the length of the model practical,
we adjust the length scaling constant by a factor K „.
Thus, the active length scaling factor is K oK.. This
is justified on the basis that machine output performance
is dominated by actual length, thus allowing a reduction
in the dimension so long as we keep K large enough so
that end turn effects do not dominate. 10
15

The remaining scaling constant relations may now
be developed (Development from Reference 11) from basic
machine relations. For scaling constant definitions,
refer to table 1.1. The rated armature volts per turn
will scale as
if we keep the pitch and distribution factors constant
between the model and actual machine.
The mutual reactance per turn squared is propor-
tional to air gap area and inversely proportional to
effective gap length.
g
We wish to keep the machine reactances the same in the
model and generator on a per unit basis. The per unit '
reactance may be defined as




where NI is armature rated ampere turns. In order to in-
sure that the mutual reactance is kept the same, we may
therefore use equations (1.24) and 'tl.25) in equation
(1.26) to determine rated armature ampere-turns as




(1.28) K = K^^ ,K K„K „
p Bsat g £ ail
The foregoing discussion describes the modeling
procedure. In order to apply the various equations and
ratios, slight adjustments are necessary to account for
minor variances in the physical, material, and electrical
characteristics in the model and generator. These ad-




ELIMINATION OF POLE FACE EDDY CURRENT LOSSES
2.1, Design Modification to Reduce Eddy Current Loss .
The high no-load electrical losses observed in
Umans ' BIG SANDY model are attributable to pole face
12
eddy current losses. In the model, or any generator for
that matter, as the rotor revolves within the stator
core, the pole face material is subjected to flux vari-
ations caused by the presence of stator slots and teeth.
As a result, eddy current pulsations which tend to
resist this flux change are induced in the conducting
surface of the rotor material.
Pole face eddy current loss in full scale machines
is attributed to the fundamental-frequency tooth-ripple
flux density, B , over the pole and varies as a function
2 13
of B . Qualitative insight as to the reasons for the
severity of the losses observed in Umans ' model is pro-
vided by consideration of a family of curves developed by
14Gibbs, illustrated in figure 2.1, which give the vari-
ation of the flux oscillation factor, B., as a function
1
of stator slot width to air gap ratio, s/g, and the
stator slot width to stator slot pitch ratio, s/X, for
full sized machines. The flux oscillation factor, B.,
is defined as the ratio of fundamental tooth ripple flux
density, B
,
previously mentioned, to the average air gap
flux density, B .
m
As may be seen from figure 2.1, the model (s/g = 43,
s/X = .437) is in a uniquely unfavorable position with
regard to high tooth ripple flux density because of the
small air gap required to reproduce magnetic diffusion.
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approach may be taken to analyze the air gap flux
variations in the model.
Consider figure 2.2(b) which is a good approxi-
mation for the flux pulsations that would be seen by an
observer at point B on the rotor of Umans ' model which
is illustrated in figure 2.2(a). If we expand the wave
form of figure 2.2(b) in a Fourier series, we may deter-
mine a frequency spectrum of its harmonic content which
15
IS described by
(2.1) B^ = — |sin(mT-^)|
^ tn nTT I s+t I
With the appropriate dimensions substituted into equation
(2.1), we obtain the results
B = .4366A = Average value of waveform
B , = .6207A = Amplitude of fundamental
harmonic
If we now assume that the average value of the
idealized waveform is equal to the average air gap flux
density, B , we obtain the result that the fundamental
^ m
tooth ripple flux density at the model pole face is
1.42 B which would be expected from figure 2.1.
m
1 ^An analysis by Umans which is based upon this
idealized representation of air gap harmonics, indicates
that the model eddy current losses are proportional to
the square of the harmonic fluxes. His solution is for
the power dissipated by a sinusoidal flux wave of known
amplitude traveling over a surface of known permeability
and conductivity as is illustrated in figure 2.3. The








2.2(a) Flux Distribution Over Rotor
Pole Face in Umans ' BIG SANDY
Model
1
2.2(b) Flux Variations Seen by
Observer at Point B




y = Permeability of Rotor
a = Conductivity of Rotor




(o o) /Power DissipatedV _ _t.
\ Area / p, 2 \
2(jo a
where B = amplitude of flux wave
k = wave number
CO = angular velocity
a = rotor material conductivity
y = rotor material permeability
Since the air gap in the model is constrained by
the modeling requirement to match magnetic diffusion, the
only recourse to reduce the eddy current losses due to
tooth-ripple flux is to close the stator slots. This
action will in turn produce a secondary effect which is
beneficial in that closing the slots will result in a
slight increase in the model physical air gap.
In sizing the stator slots for the model, we must
consider the relative amplitudes of the higher order har-
monics as well as the amplitude of the primary harmonics.
Once again, this is because of the fact that the air gap
is so small that the power dissipated by these harmonics
is not negligible. Table 2.1 illustrates this point. The
tabulated values for B, demonstrate the persistence oftn ^
the higher order harmonics described by equation (2.1) for
the assumed wave form. It must be realized, of course,
that the assumption of negligible fringing is less valid
as the slot width is reduced. Errors which are included
as a result of this assumption are conservative from the
viewpoint of reducing the losses.
Before reaching any conclusions from the foregoing
analysis, it is necessary to consider another aspect of
the eddy current loss phenomena which was unique to Umans
'
model. As is indicated by equation (2.2), in addition to
23

being proportional to B , the eddy current losses are
also inversely proportional to /y . , Because of mechanical
problems, it had been necessary to build up the rotor
surface of the model with a coating of low permeability
iron. Umans calculated that the effect of this iron was
to increase the eddy current losses by a factor of 100
over the value predicted by assuming that the design per-
17
meability of 47,000y was achieved at the rotor surface.
The iron was removed by grinding and the losses were re-
duced by approximately 50%. They were still too high
for acceptable operation of the model, however. The
fact that the losses remained high may possibly be accounted
for by mechanical stresses in the rotor surface due to the
grinding operation. A characteristic of the rotor material,
demonstrated in tests conducted on material samples by
Uraans , is that mechanical stress causes a reduction in
18permeability. The probable need to perform mechanical
operations on the rotor dictates that design changes be
undertaken to reduce air gap flux harmonics. Because of
this and in view of the persistence in amplitude evidenced
in the higher order harmonics in table 2.1, it is con-
sidered necessary to close the stator slots as much as is
practical in order to reduce the eddy current losses to an
acceptable level. The value selected for the modified
design stator slot width is .040 inch. This decision was
reached after consultation with the manufacturer that will
provide the stator laminations as being the practical
lower limit consistent with lamination cost and die strength,
The loss problem is not completely solved by closing
the stator slots, however. It is also necessary to close
the rotor slots to prevent similar eddy current losses in




RELATIVE AMPLITUDES OF HARMONICS FOR
VARIOUS STATOR SLOT WIDTHS
S = .2578 in. S = .050 in. S = .040 in
^tl 1.436 .182 .145
\2 .281 .176 .141
^t3 .401 .166 .135
^t4 .261 .153 .129
^5 .159 .135 .120
25

resultant air gap flux is at some angle with the direct-
axis. The slot width for the modified rotor design is
.050 inch. This value was chosen to facilitate hand wind-
ing of the rotor. As is indicated in table 2.1 by the
tabulated values of B^ for a .050 inch slot width, thistn
choice should not result in a large increase in the eddy
current loss with the machine operating under loaded
conditions
.
2.2. Experimental Verification of Loss Reduction Method .
An experiment was conducted to verify that closing
the stator slots would reduce the no-load losses. This
experiment consisted of inserting steel bars into the
slots of Umans' BIG SANDY model to simulate a closed slot
structure. It was conducted before the low permeability
iron material was ground off the surface of the rotor.
The test procedure was to drive the model generator
with a d.c. motor at a constant angular velocity of 3600
r.p.m. with the generator terminals open. The generator
field current was increased from amperes to the value
determined necessary to give rated voltage for the open
slot configuration of 1.2 amperes. The d.c. motor was
operated with the field separately excited. Adjustments in
power necessary to maintain a constant speed of 3600 r.p.m.
were applied by means of a variable resistor connected in
series in the motor armature circuit. Measurements of the
motor armature voltage and current were recorded for the
various levels of excitation of the generator. The elec-
trical power dissipated by the generator was determined
at any particular level by taking the difference between
the observed power supplied to the d.c. drive motor for
that level and the amount that was supplied with the
26

generator unexcited. Coincidentally , a measurement of
the air gap flux level in the generator was taken by
integrating the voltage output of a one-turn coil, short-
pitched two slots, which was inserted in the generator
stator
.
Three experiments using this procedure were con-
ducted with the steel bars in the slots. The resultant
modified slot configuration is illustrated in figure 2.3.
The bars were then removed, and two experiments were con-
ducted following the same procedure.
The results of these tests, averaged for each slot
configuration, are presented in figures 2.4 and 2.5. As
is indicated in figure 2.4, a reduction of approximately
20% in electrical losses was observed with the bars
inserted in the slots. We may consider qualitatively the
significance of this result as an indication that closing
the slots in the modified design will reduce these losses
to an acceptable level by interpreting the flux measure-
ments depicted in figure 2.5.
As is illustrated, there was an increase in flux of
approximately 5% observed for the same excitation with
the bars in the slots. Since the physical air gap was
the same for both experiments , this indicates that the
presence of the bars caused an equal reduction of 5% in
the model's effective air gap. If the slots were closed
by the same amount by means of tooth extensions at the
air gap interface, the physical gap of the model would
approximately equal the effective or electrical gap. The
19
effective air gap for Umans ' model is .013 inch and the
physical gap, as indicated, is .006 inch which suggests
that we would expect to see an increase in flux of approxi-
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effectively closed at the air gap interface for the same
physical gap.
The small increases in flux due to the presence of
the bars thus indicates that the effectiveness of the
bars in the slots, as far as simulating a closed slot
configuration, was poor. This is understandable since
aligning and securing the bars in the slots was a most
difficult task. The fact that a 20% reduction in electri-
cal losses occurred with bars indicates that to effectively
close the slots would substantially reduce the losses as
is predicted by the theory developed in section 2.1.
2.3. No Load Eddy Current Loss Calculation for Modified
Design .
In order to apply equation (2.2) to calculate the
no-load loss due to the air gap space harmonics, we assume
linear superposition and calculate the loss contribution
for each harmonic component, then sum the resultant losses















a = conductivity of rotor material
y = permeability of rotor surface
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in order to account for the fact that a point on the
rotor passes under 24 stator slots in one complete
revolution.
The average value to use in determining the ampli-
tude of the losses over the pole face is the peak value
20
of the fundamental air gap flux wave described by
(2.4) B =1 ^^^
p 2 (21r) (4.44fk^Np^)
E„ = R volts per phaseRms ms r- r-
f = frequency
^w ~ winding reduction factor
N , = series turns per phase
1 = machine active length
r = rotor radius
Additionally, if we assume a sinusoidal distri-
bution for the fundamental flux as illustrated in figure
2.6, the contribution to the losses due to the teeth
adjacent to the pole face may be determined by the rela-
tion
,p c-v /Power Dissipated by Tooth\ _\ Area / ~
/Power Dissipated by Pole Face\
X Area / X












Figure 2.6 Air Gap Flux(webers/meter ) Values
Assumed for Loss Calculation
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The value chosen for the permeability of the rotor
material in this calculation is 2,000y . This value was
chosen based upon the results of Umans ' observation of
the reduction in losses when the lower permeability iron
21
was removed from the rotor. The actual value of perme-
ability for the iron covered rotor was approximately 1/100
the assumed value for the rotor surface which was 47,000y
o
The observed reduction in losses when the iron was removed
was approximately 50% or 1/2 which indicates that the sur-
face permeability of the rotor in its final configuration
was increased by a factor of 4 to approximately 2,000y .
From equation (2.4), B = .41, using equation (2.3),
the loss contribution due to each of the first five har-
monic components of the air gap flux over the pole face
is









1 .060 420 9,050 87
2 .057 840 18,100 55
3 .055 1,260 27,100 46
4 .052 1,680 36,200 38
5 .049 2,100 45,200 26>
Thus, the total power dissipated per unit area over
2the pole face is 24 7 watts/meter . The total pole face
area for the rotor is .025 square meters. Consequently,
the eddy current loss is approximately 6 watts.









Tooth \^ Area >
(watts/meter)
1 .32 .61 150
2 .23 .31 77
3 .12 .086 21
The terms , tooth 1 , tooth 2 , tooth 3 , correspond to the
tooth location illustrated in figure 2.6.
There are four teeth at each location (1,2, or 3) and
each tooth has the same area of .0028 square meters, then
^ T^ • ^ J -. Power Dissipated^<Power Dissipatedv 3 / , rr, ^i \
\= 4 X Z i by Tooth n \by Rotor Teeth / ^^t \ Area /
X .0028 = 4 X (248) x .0028 = 3 watts
Thus, the total no-load eddy current loss predicted for






The stated object of this thesis is to provide
a modified model design so as to eliminate the no-load
electrical loss problem and provide rotor and stator
laminations which are suitable for use in models of other
AEP generators than BIG SANDY. The loss problem was
addressed in Chapter 2; in this Chapter, the rotor and
stator laminations are designed to be suitable for
models of either BIG SANDY No. 2 or MITCHEL No. 1 genera-
ting units. By providing laminations suitable for models
of these generators, we should achieve the second stated
objective in that these units represent the extremes of
the generators to be modeled. BIG SANDY and MITCHEL have
respectively the smallest air gap with the shortest
active length and the longest air gap with the smallest
active length of the machines to be modeled.
3.2. Experimental Prediction of K_
.Bsa t
.
It is important to be able to predict the value of
K which will be achieved in the model design sinceBsat
this constant affects nearly all aspects of the design.
The failure to accurately deterfnine-*K_ , for Umans ' BIGBsat
SANDY model resulted in the stator slots being too small
to accommodate the number of turns required to achieve the
designated rated voltage. The calculated value of K_ .
osati
«^ ^
was .4, and the actual value determined by Umans was .32.
The method used to calculate K„ ^ for Umans ' model
2-^ Bsat
was proposed by Haller. Haller reasoned that saturation
35

would occur at the base of the pole in the model as
it does in the actual generator. Additionally, he
concluded that saturation would occur sooner in the model
because of the reduced cross-sectional area in the pole
face due to the holes for the copper rods. His procedure
to express the resultant reduced saturation level was to
take a ratio of the total arc length across the pole face
at the radius of the rods, less the length eliminated by
the holes, to the total arc. This ratio was multiplied
by another ratio which compared the relative saturation
characteristics of the material used in the model lami-
nation to that for the BIG SANDY rotor iron to obtain
^Bsat' i.e. ,
^Bsat
^sat eff ,, ^sat 4750
R R
sat mat sat BIG SANDY
The disparity between the predicted and measured values
for K^ ^ of Umans ' model indicate that saturation occursBsat
at some point other than at the base of the pole face.
Because of the numerous holes in the rotor lamination,
there are an infinite number of cross-sections at which
saturation might occur. A teledeltos model may be used to
understand more fully the effects of these holes in the
rotor lamination on the rotor flux.
Figure 3.1 illustrates the teledeltos modeling
technique. The current measured between equipotential
surfaces, represented by silver paint, on the direct or
quadrature-axis is analogous to the flux which flows be-
tween these surfaces in the actual rotor. The changes •
in current which are observed due to the addition of holes




\N Teledeltos Paper TT 6V
Figure 3.1 Teledeltos Model
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the rotor laminations , are thus analogous to the changes
in reluctance in the rotor laminations. Since tele-
deltos paper is a linear device, the model affords no
exact way to measure saturation. The measured changes
in reluctance due to the holes tend to correlate with the
observed changes in saturation in Umans ' model, however.
If, for instance, we assume that the drop in reluctance
is a measure of the drop in saturation level due to the
holes in the rotor and combine this result with the
changes in saturation due to the differences in material,
the model predicts a value of .32 for K for Umans'Bsa t
model
.
Qualitatively, the measured change in reluctance
using the teledeltos model should give some indication
of the expected reduction in saturation in the model rotor
since the distortion of the linear B-field in the rotor
by the holes is reflected in the relative reluctance
measurements. The holes located near the base of the
pole face, for instance, cause a greater drop in the re-
luctance of the path between the pole faces than do the
holes near the center of the rotor.
If in fact the change in reluctance is any measure
of saturation characteristics, the teledeltos model pre-
dicts a K_,
,
of .38 for the modified lamination design.
I3sat
In other words, the distribution of holes in the rotor
caused much less of a reduction in the reluctance of the
path between the pole faces in the modified rotor design
than did the holes in Umans' rotor. The location of holes
in the rotor pole face is the same for both designs.
Based upon these facts, a value for K .of .36 is chosenBsat
for the modified design. This is conservative from the
point of view of the teledeltos test results. Additionally,
38

the stator slot size required to accommodate the number
of turns to generate designed rated voltage as a result
of this choice, approaches the practical limit. If
K turns out to be smaller, a lower rated voltage will
have to be accepted.
One additional benefit was derived from the tele-
deltos tests. The tests conducted on Umans ' rotor design
indicated that the relative reluctance changes were
different along the direct and quadrature-axis because of
the holes added to the pole face of the rotor. This con-
dition is undesirable in the model because it would result
in the model exhibiting a salient effect which does not
occur in the full sized generator. It was found using
the teledeltos analog that this problem could be resolved
by the addition of holes in the rotor teeth; consequently,
these holes are included in the modified lamination design.
3.3. Modified Design .
The purpose of this section is to delineate the de-
sign judgments which effected the choice of model para-
meters to accomplish the stated objectives. The modified
design procedure developed by Umans is followed; the numeri-
cal computations up through and including the calculation
of the area of copper necessary to model the field dis-
charge time constant were accomplished with the use of
24Umans' model design program. The applicable design
equations from section 1.3 are listed and re-numbered in
table 3.1. The various scaling parameters discussed in
the following paragraphs are tabulated in table 3.2. The
physical and electrical descriptions of the full scale
generators are listed in tables 3.3 (BIG SANDY) and 3.4
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model design. Figure 3.2 illustrates the new rotor




power, K , and length, K^ , scaling
constants are chosen to yield a model which is of con-
venient size for laboratory use and reasonably inexpen-
sive to produce. The selected values, table 3.2, as
demonstrated by Umans ' model, fulfill these requirements.
The copper fraction, f
, is defined as the ratio
of the area of copper to the total area of the rotor
lamination excluding the areas of slots and shaft. In
order to use the same laminations for both models, it
is necessary to use different copper fractions. The
primary reason for this, as will be seen later, is to
restrict the amount of copper in the rotor slots which
must be added to match the field discharge time constant.
The particular copper fractions used in the modified de-
sign are selected to achieve a balance among model physical
air gap length, active length, and rotor slot dimensions.
The distribution of copper within the rotor is made uni-
form so that the rotor will appear as homogeneous as
possible to transverse fields. The conductivity scaling
constant, K , is fixed by the choice of f .
a -^ c
We now may determine the permeability scaling con-
stant, K , from equation (3.4)
^t(3.6) K = ^
^ K K 2
*
a i





(3.7) y r:^ = K y .eff y^generator
The permeability which must be achieved in the rotor
material is slightly higher than y ^^ because of the
holes in the rotor lamination. This value is calculated
25from the empirical formula.
(3.8) y = (.9-1.29f, )y^^.err h mat
where f, is the hole fraction in the rotor lamination,h
The definition for f, is similar to that for f . Theh c
permeability requirements obtained for both BIG SANDY
and MITCHEL 1 are achievable with the use of 4 750
material from Allegheny-Ludlum, the material used in
Umans • model.
The air gap scaling constant is now defined by
equation (3.5) .
(3.9) K =5^
A distinct advantage in closing the rotor and stator slots
to reduce the eddy current losses is realized in the
model physical air gap. The effects of both rotor and
stator slots are negligible, and the physical air gap
equals the effective air gap.
The model active length (MAL) is scaled from the





aJl K^ .2 K,2 KBsat i g
(3.11) MAL = K ;,K^GAL
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Next, we calculate the field ampere-turns
necessary for rated voltage using equation (3.3).
(3.12) (N^I^)Model = K K^
,
(N^I^) Generator
r f g iJsat r r
The model armature series-turns per phase (NAM)
required for 230 volts. _„ is determined from the generator
series-turns per phase (GNAM) using equation (3.1).
K K





(3.14) NAM = K X GNAM
n
Finally, we calculate the cross-sectional area of
copper necessary in the top (ARODT) and bottom (AROD)
of the rotor slots to match the initial generator sub-
transient and field discharge time constants. Tests
conducted by Haller on the CARDINAL model demonstrated
the need for the inclusion of copper in the outer ex-
tremity of the rotor to correctly model these effects.
His solution to the problem was to calculate the radius
of rods arranged in cylindrical rows in the bottom and
top of the rotor slots respectively, that would have the
appropriate discharge time constant.
(3.15) r 2t 1(V - ^f^ )




where a = conductivity of rod
N = number of slots
rod = radius of rods
R- = rotor radius to middle of rods
R -
^f plus air gap length
A rectangular shape is more useful in the rotor slots;
consequently, copper bars with cross-sectional areas
equivalent to the rods are used in the modified design.
As was previously mentioned, the requirement to
include this copper in the rotor slots imposes a con-
straint on the copper fraction for the rotor bulk (f )
in that AROD is proportional to the air gap length which is
in turn inversely proportional to the rotor copper fraction
(f ) . The rotor copper fraction is thus limited by the
rotor slot size.
Figures 3.2 and 3.3 illustrate the new rotor and
stator laminations. The basic difference between these'
laminations and those used in Umans ' design are in the
distribution of copper in the rotor and in the slot
configurations. Since the number and location of slots
are kept the same, the field and armature turns distri-
27bution designed for Umans' model may be used.
The field winding will be distributed in four coils
per pole with 32 turns per slot except for the four slots
adjacent to the pole face which'"will contain 28 turns.
However, the field is to be wound from No. 18 wire which
is larger than that used by Umans. Identical field wind-
ings are to be used for both the BIG SANDY and MITCHEL 1
models; thus, the MITCHEL 1 model will operate at
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Figure 3.2 Modified Rotor Lamination
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Figure 3,3 Modified Stator Lamination
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The armature winding will have 4 coils in series
per phase vrith two parallel paths. The winding will be
short pitched 2 slots and distributed in 6 slots. The
required turns per armature slot for each design to achieve
230 volts is 30 for BIG SANDY and 32 for MITCHEL 1.
The required packing factor for both the rotor and stator
windings is .5. The rotor field resistance will be approxi-
mately SO, and the armature resistance will be .127^ per
phase or .0022 p.u. for BIG SANDY and .135^ per phase or
.0023 p.u. for MITCHEL 1.
The rotor slot configurations for the MITCHEL 1
design is illustrated in figure 3.4 (a). The slot is
sized for MITCHEL 1 since more copper is required in the
slot. In addition to designing the slot so that it is
large enough to accommodate the field windings and AROD,
it is also necessary to insure that the tooth extensions
which close the slot do not saturate prematurely. The
extensions are designed, therefore, so that they will
not saturate before the tooth shank. Note also that
ARODT is not included in the rotor slot but in the holes
in the rotor teeth illustrated in figure 3.4(b). This
arrangement is one of convenience since holes must be
located in the rotor tooth tops to balance K on theBsat
direct-axis and quadrature-axis.
The stator slot configuration is illustrated in
figure 3.5(a). The stator slot, is sized to accommodate
the MITCHEL 1 winding which contains the most turns. The
extensions for the stator teeth, shown in figure 3.5(b),
also are designed so that they will not saturate before
the shank portion of the tooth. The stator slot width
design is influenced by the need to insure that the stator









































saturation in the rotor, as is the case in an actual
generator. This may be accomplished by reducing the
stator tooth width to stator slot pitch ratio by an
amount equal to the reduction in the saturation level
in the rotor that is caused by the holes in the rotor
laminations. A second technique which may be employed
is the reduction of the stator core area by including
98
toothless stator laminations in the stator stack.
The teledeltos model tests described earlier indi-
cate that the rotor saturation flux level is reduced by
40% for the modified rotor lamination. In order to
match this in the stator for the BIG SANDY and MITCHEL 1
designs, a combination of the procedures described above
are used. The stator tooth width to slot pitch for the
full scale machines are .563 and .497 for BIG SANDY and
MITCHEL 1 respectively. The modified model stator tooth
width to tooth pitch ratio at the most narrow portion of
the tooth is .377. The desired ratio for the BIG SANDY
model is .34 which indicates that 10% toothless lami-
nations should be included in the stator stack to exactly
model saturation. For the MITCHEL 1 design, the desired
tooth width to slot pitch ratio is .298 which indicates






Fraction of Copper .200
Effective Conductivity .067a .200a
Rotor Permeability 860y 45,800y
Air Gap Length 2.875 inches .009 inches
Effective Air Gap Length 2.875 inches .089 inches
Rotor Radius 22.25 inches 2.25 inches
Field Winding Turns 92 248
Rotor Field Current 529 4 amps 2.2 amps
Armature turns in
Series per phase 60
Rated Armature
Voltage Z-i 26,000 volts 230 volts






























Effective Air Gap Length 4.3 inches .0107 inches
21.5 inches 2.25 inches
248









It has been assumed in the design of past physical
scale models that the model leakage reactances would be
relatively smaller than those observed in the full size
generators because of the model's relatively smaller air
29gap.
,
This assumption has been proved valid by tests
conducted on the CARDINAL and Umans ' BIG SANDY models. "^^
It is deemed necessary to calculate the leakage reactances
for the modified design which is the subject of this
Chapter, first of all to insure that the leakages will
continue to be small and thus correctable, and secondly,
to calculate if possible, the values of external reactance
necessary in the field and armature circuits of the model
to match the direct-axis transient and synchronous re-
actances of the full scale generator.
4.2. Armature Leakage Reactance .
Armature leakage reactance may be described as the
difference between the total flux produced by the armature
current alone and the space fundamental of the flux in the
air gap. It is composed of four parts due to the following
reactances.
(a) slot leakage reactance
(b) coil end leakage reactance
(c) tooth-top leakage reactance
(d) differential leakage reactance
The magnetic paths for the leakage flux which create the
above defined leakage reactances are illustrated in












= Differential Harmonic Leakage




may calculate separately the leakage reactance due to
each one of these components, and then sum the results
to obtain the total leakage reactance.
(X )
4 . 2 , a . Tooth-Top Leakage at
The tooth-top leakage reactance is, as illustrated
in figure 4.1, due to leakage fluxes which lie in the
air gap and cross from tooth-top to tooth-top. The value
of this component may be determined from curves provided
32m a paper by M. E. Talaat. Talaat's results were ob-
tained from application of the Schwarz-Christof fel trans-
formation to the slot air gap configuration. Tooth-top
leakage is negligible in the physical scale models
because of the small air gap.
(X )4.2.b. Stator-Slot Leakage as
The following procedure to calculate the model stator
33
slot leakage is from a development by Alger. The
stator slot leakage is equal to the product
(4.1) oa X slots per phase
2
X (series conductors per slot)
X embedded length of slot
X slot permeance ratio x y
or
(4.2) X = aj(-) (^)^(L) (P )u
as q S so
2
= (joqL (N) (P ) y ohms per phase
where s = number of stator slots
q = number of phases
N = armature series-turns per phase











The slot permeance ratio, P , may be determined by con-
sidering the slot flux linkages for the slot configura-
tion in figure 4.2. The linkages are composed of four
parts which must be summed to give the total flux link-
ages. The flux crossing the opening and linking all the
conductors is expressed by the ratio of depth to width
of slot opening, d^-Zw, . The flux crossing the neck of
the slot also links all the conductors in the slot; it
is measured by the integral of the depth over width
ratio and is approximately equal to 4 ^1^
^1
W2+w^*
crossing the slot above the top of the coil, linking all
the conductors in the slot equals d_/w„. Finally, the
flux crossing the body of the slot and linking only a
part of the conductors equals d,/3Wp. The resultant
expression for slot permeance is
d_ 2d. d- d,
(4.3) P = — + —-^ + -^ + ^s W3_ w^+w^ W2 3W2
and is valid for a full pitch winding in which both coils
in the slot carry identical currents.
If the winding is fractional pitched, the currents
in the coils in some slots are out of phase by an electri-
cal phase angle 6. In a balanced fractional pitched wind-
ing, the out-of-phase components will cancel since there
are an equal number of slots co'ntaining lower coil sides
which lag the upper coil's current by an angle 6 as there
are slots with upper coil sides with currents which lead
by the same angle 9. These out-of-phase components will
cancel and we need only consider the in-phase components
of induced voltage. The mutual inductance between coils
carrying currents 9 out-of-phase must be multiplied by
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cos6 to determine the effective mutual inductance.
The total slot reactance may be expressed as
(refer to figure 4.2)
(4.3) X = X^ + 2X^g + Xg.
Now, for a straight slot of width, w^ , the slot permeance
ratio for conductor A is
(4.4) P^ = ^ +
-I £
2 2
The expression for mutual permeance between A and B is
d
"^1 ~^9
(4.5) P^^ =(~ + -4 -) coseAB w 4W2
The current in B produces a uniform flux density crossing
the slot over the height of A. The voltage induced in A
by this flux density varies linearly from top to bottom,
of A and is equivalent to one-half of the flux in B linking
all of A. Thus, one-half the height of A or (d, - d_)/4 is
effective in producing mutual inductance.
The slot permeance ratio for B is
^3 4(^l'^2) "^2(4.6) P^ = — + ^-^ ^ + —B W2 6W2 W2
These equations, (4.4)-(4.6), substituted into equation
(4.3) yield
d_ d^ -d_ r- , - Q d
(4 7) p = _J_(i+cose)+ " ^ , 5+3cos9 . _J,^^'^^
^s 2W2^ -' 4W2 ' 6 4W2




PROPORTIONS OF SLOTS CARRYING COIL SIDES FROM DIFFERENT
PHASES FOR A BALANCED THREE-PHASE WINDING
Phase Difference
between Currents winding Ratio to
in Top and Bottom Pitch Total Number
Coil Sides P of Slots
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(4.8) K = ^'^°^"
s 2
and
K d^ d^ d. ^
2 2 w
For a closed slot, this expression must be altered as
follows : .
' d 2d d
(4.10) P = K (— + —-^ + ^) +
s s w, w, +w^ w^
^1 ^2 2(1-K ) - -r^(K^ - 4)12w2 s 4w„ s 3
In order to apply equation (4.10), it is necessary to
multiply the distinct value of K for the different kinds
of slots by the proportion of each to find an effective
34
value of K . Table 4.1, provided by Alger, may be used
to compute the effective value of K .
(X )4.2.C. Differential Leakage Reactance ah
The differential reactance is due to harmonic flux
waves in the air gap field which induce fundamental fre-
quency into the armature winding and thus add to the
reactance in the armature. The magnetic paths for these
fluxes lie in the air gap as well as in the rotor iron as
illustrated by figure 4.1. The following expression and
35
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Figure 4.3 Air Gap Flux Linkages at the Instant When
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Figure 4.3 shows the stepped rectangular air
gap flux wave produced by one phase, Phase A, of a q-
phase winding with s slots per pole, and a coil pitch
of s-b teeth. The self-linkages of phase A are the sum
of the linkages due to the center teeth (teeth 4-12)
,
carrying full flux and linking all the turns; and of the
other teeth linking progressively fewer turns and carry-
ing less flux.
The. expression for the self-linkages for phase A
is
(4.11) L^ = 1 - |- + -^(2s-3bg^ - bq+b^9),0<b<|
Now, we may sum the linkages for phase B due to phase A.
These linkages are expressed by
(4.12) L^3 = cos |{(3r2,- feqJ,b2-i)},o<b< |^ ^ 6s ^
For a three-phase, 60 phase belt winding, q = 3,
cos(—)= 1/2, the total air gap reactance is expressed by
<^-"'
^t= ^AA + ^AB ^ ^AC = ^AA ^
^L^^
or
(4.14) L,. = i^ + —-(4s-6b^s-3b+3b^) , 0<b< |60 9 2s^ - - 3
The ratio of the fundamental flux to the total
g




To obtain the per unit inductance due to the
useful flux, we multiply this ratio by the squares of
the pitch and distribution factors and by the ratio
q/2 of the total field due to one phase alone which
yields
^ ^ . 2 TTr, . 277 (s-b)
.2 Sin -^r—Sm -^ -
(4.15) L = ^ ^3 2s^^•-^^''
^s 2 ^2^. 2 7T
77 S Sm TT-2s
We now obtain the differential leakage of the winding by
dividing the expression for the total leakage, equation
(4.13) by equation (4.16) and substracting unity.
X
, 77^(20s^+36s-54b^s-27b+27b^)Sin^-;7^ -1,
(4.16) ^ = : ^
486sSin24ilk) o<b<|
2 s = =3
4.2.d. End-Turn Component .
The stator end turn leakage may be determined approxi-
mately by the following expression developed by Alger.
1.84 qfN D^ ^. .8D^ ^/A T-7\ V 1a. ,p77-Slnp77^ T / 2,P
^^•1^^








(log-^^ H-log-5 )pi ,^ds,^ D, ^ R phase
with D expressed" in meters. The derivation of this expes-
sion is lengthy and the reader is referred to reference
36 for further information. As was expressed earlier, the
result is approximate. The real value in using this re-
sult is that it gives some indication of the effects of
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changes in dimensions in the machine on this component
of leakage., Customary use of this expression is to ob-
tain test data on a machine of similar type and to adjust
the calculated value of its reactance with a constant
to obtain the correct value of end turn leakage. The
constant determined in this manner may then be applied
to the new design.
According to Mr. Alger, it is sufficient to assume
that rotor end leakage will be of approximately the same
value as that in the armature. A convenient means to
express the total machine leakage is to round off the
first term of equation (4.7) and multiply it by 4 to
obtain:
2
(4.18) X = —2^ (p-0.3) ohms per phase
with dimensions in meters. The armature end-turn
component is thus:
(4.19) X^^=^,
and the total armature leakage is
(4.20) X =X +X^+X,+X^
a as at ah ae
4.3. Field Leakage Reactance . '- •
The field leakage reactance is composed of the sum
of a slot-leakage component and an end-turn leakage com-
ponent. The end-turn leakage referred to the stator may
be estimated by equation (4.18).
(4.21) X^^ = f-
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The field slot-leakage is calculated in the
same manner as is the stator slot leakage (Section 4.2.b.)
Equation (4.3) may be used to express the field slot
leakage as an inductance.
(4.22) L^^ = (N^)2(L)(P^)(4^ X 10-') hf^
where N = turns per slot
s ^
Since the field slots contain fewer turns in the slots
nearest the pole face, Equation (4.22) must be applied
separately to each slot. The total field leakage in-
ductance is determined by summing the contribution of all
slots
.
In order to refer the value for L^ to the stator,
f s
we may use a turn ratio which results from a per unit
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system developed by Concordia. Concordia's expression
for the flux relations of a synchronous machine's main
field and armature circuits in d, q variables, ignoring
3 8damper winding currents,, are:
(4.23) X^=-L^i^+Mi^
X = -L i
q q q
A.. = I Mi^ + L^i^
2Concordia defines I = ^ i^ which substituted m equation
(4.23) yields:
^d = -Vd ^ I ^^f





^f " ~ I ^^d "^ I ^f^f
where
(4.25) L, = L ^ + £d ad a
and L i, is the magnitude of the first harmonic flux.
If we require that in per unit, all rotor and armature
mutual flux be equal to the per unit value of this first
harmonic flux and choose rated voltage and current as
base voltage (V ) and current (I ) , we have defined the
following base relationships.
3 „ fo(4.26) L^p.u. =a3L, rr— = co -^ M —
ad^ ad V 2 V
(4.27) I^^ = I -^ I^fo 3 M
3 ^f
(4.28) X^p.u. = CO I L^ f^o






(4.30) M = —=r^ henry0)1- -^







REACTANCE CALCULATIONS IN PER UNIT
BIG SANDY BIG SANDY BIG SANDY MODEL
(Manufacturer) Calculated Calculated
Synchronous




























Ejctemal Reactance Not Included
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4.4. Estimation of External Reactance Correction for
BIG SANDY model .
The procedures discussed in sections 4.2-4.3 were
used to calculate the leakage reactances for BIG SANDY
and the BIG SANDY model. The results of the calculations
are tabulated in table 4.2. Note that the values cal-
culated for BIG SANDY differ appreciably from the react-
ance values calculated by the Manufacturer, General
Electric Company, in two areas. First, the value of L ,
from equation (4.30) is too large. This may possibly be
explained by the fact that in the generator the end regions
are shielded by highly conducting materials in order to
protect the stator laminations from axial fields created
by the end turns; this shielding tends to reduce the self
and mutual reactance achieved in the generator and may be
41
accounted for in the G. E. calculation.
The second area of difference is in the field leak-
age calculations. The values determined using the pro-
cedure developed in section 4.3 are too high. This error
may possibly be accounted for if we compare the total
leakage, armature plus field. Thus, total leakage react-
ance calculated for BIG SANDY is quite close to the values
provided by G. E. This total leakage reactance is approxi-
mately equal to the transient reactance which is unaffected
by the turns ratio which results from the per unit system
used. The difference observed in the values for field
leakage may be due then to use of a different per unit
system by G. E. from that used in section 4.3.
In view of the observed discrepancies just discussed,
the necessary field and armature reactance corrections to
match the BIG SANDY leakage reactance may not be accurately
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calculated at this time. It will be necessary to conduct
tests on the physical model to establish these parameters
It is clear from the results that nearly all the leakage
must be added externally. The approximately inductances
which must be added in the armature and field are 2 5 mh





5.1. Modified Design Conclusions and Recommendations
.
The modeling project of the Electric Power Systems
Laboratory has suffered from the lack of a working model
to verify and improve theory developed to date. It is
believed that the model to be constructed from the design
developed in this thesis will meet this need.
The reduced stator and rotor slot widths should
be effective in minimizing eddy current losses which in
turn should permit thorough testing and evaluation of the
model and the modeling concept.
Two areas where additional research is needed are
indicated. First of all, a thorough study of the effects
of the holes in the rotor laminations on rotor saturation
characteristics is required. The validity of using the
teledeltos analog to predict saturation effects remains
to be proved.
Secondly, the effects of rotor damper circuits,
of which there are an infinite number, on the machine
reactances must be investigated. The leakage reactance
calculations undertaken in Chapter 4 were valuable as far
as indicating that the closed slots combined with the
small air gap would not create a situation which would
result in excessive leakage, but the results are incomplete
as far as accurately determining leakage reactance. This
is due to the failure to include the effects of damper
circuits and also because of the inexact procedure used
to estimate end-turn leakage.
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5.2 . Applicability of Modeling Procedure to Naval
Electrical Systems .
The modeling procedure used in this thesis is
not applicable for the design of a model for a ship
service generator of the type currently in use aboard
modern U. S. Navy vessels. The ship service generators
used today. are primarly 6-pole/ 1200 rpm units with
laminated rotors . In view of the increasing use of gas
turbines on board ships of the Navy, however, it is con-
ceivable that in the not too distant future, 2-pole
3600 rpm units with solid steel forged rotors will be
utilized. Should this happen, the procedure would be
applicable.
The same justifications for physically modeling
the large generators would also be applicable to a similar
system if it is introduced aboard ship. In fact, a
stronger case for physically reproducing non-linear electro-
magnetic phenomena associated with a generator could be'
made for a shipboard system because of the short trans-
mission systems and closely coupled loads. The transient
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